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ABSTRACT 

A computational micromechanics based Finite Element (FE) analysis methodology is 

presented to predict the bi-axial failure envelope of a unidirectional (UD) carbon-epoxy 

composite ply. In order to estimate the effect of various microscale parameters that are 

influencing the macroscopic stress-strain behavior, under individual load cases, detailed 

numerical studies are conducted using a 3D RVE (Representative Volume Element) 

model. The constituent epoxy matrix plastic deformation in the RVE is captured using the 

linear Drucker-Prager plasticity model.  
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The effect of the fiber-matrix interface damage, followed by frictional sliding of the 

constituent materials on the computed interface tractions is captured using a cohesive 

zone damage model combined with the Coulomb friction law, which is implemented into 

Abaqus using VUMAT. From the detailed FE analysis of the RVE under individual load 

cases, it is observed that the predicted macroscopic stress-strain behavior is sensitive to 

the fiber-matrix interface properties as well as the in-situ epoxy stress-strain behavior. 

Hence, using a coupled experimental-computational micromechanics approach the 

interface and the in-situ epoxy material properties are calibrated and validated. Using the 

calibrated interface and in-situ epoxy material properties, the bi-axial (transverse tension / 

transverse compression – in-plane shear) failure envelope of a UD composite ply is 

estimated. Comparing the predicted damage profiles and the failure envelope with the 

experimental results leads to good agreement and validates the proposed numerical 

methodology. 

 

Keywords: Polymer Matrix Composites (PMCs); plastic deformation; computational 

micromechanics; interface damage, bi-axial failure envelope. 

 

 

1. Introduction 
 

Attributed to the excellent specific strength and stiffness Polymer Matrix 

Composites (PMCs) find extensive structural applications in advanced mechanical 

industries such as energy, aviation, and aerospace.  
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Unlike other structural materials, PMCs are hierarchical with three distinct length 

scales namely, microscale, mesoscale and macro-scale. Pertaining to each length scale, 

there exist specific damage initiation and propagation mechanisms. 

 

In general, composite structures are designed to undergo multi-axial load 

conditions during their service life. Hence, over the years numerous ply/laminate level 

failure models have been proposed to predict the multi-axial failure envelope. The 

aforementioned failure criteria can be broadly categorized into stress based [1] [2] [3] [4], 

strain based [5] [6], and phenomenological models [7] [8] [9] [10]. In order to evaluate 

the robustness of the state-of-art failure theories related to PMCs, Soden et al. [11] [12] 

[13] conducted the ‘World Wide Failure Exercise (WWFE)’. Consequently, various 

failure theories were ranked according to their predictive capabilities. However, at the 

end of the abovementioned failure exercise, the general consensus was that there is a 

discrepancy between predicted and experimental failure envelopes [9] [14]. Since then 

many efforts have been devoted for developing generalized failure criteria for PMCs 

through the incorporation of specific failure modes (e.g. Puck et al. [7]), which can 

effectively predict the bi-axial failure envelopes of FRP laminates [4] [8] [15] [16].  

 

The mechanical properties of fiber-reinforced composites depend on the fiber, 

matrix, fiber distribution, orientation, and void content. Besides the aforementioned 

properties, at the micro-scale, the nature of the fiber-matrix interfacial bonds and the 

mechanisms of load transfer between different constituent materials play an important 

role [17].  
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Attributed to the above mentioned complex microstructural parameters, 

phenomenological or macro-scale damage models cannot accurately describe the 

complex failure behavior of Fiber Reinforced Polymer (FRP) composites [18]. For the 

aforesaid purpose, computational micromechanics present the following distinct 

advantages: a) the influence of the geometry and the spatial distribution of the fibers can 

be accurately taken into account; b) the obtained detailed stress-strain fields throughout 

the microstructure can lead to precise estimates of the onset and propagation of damage, 

and accurate predictions of the failure and strength [19]. Consequently, developing a 

thoroughly validated micromechanics based failure criterion with physical soundness is a 

clear advance over the state-of-art phenomenological damage models. Hence, with the 

ultimate goal of predicting the failure envelope of a UD composite ply under multiaxial 

loads, Gonzalez et al. [20]–[24] presented a detailed computational micromechanical 

procedure for UD FRP composite plies. The general micromechanical modeling strategy 

of the above mentioned studies consists of the following steps: i) an RVE model is 

generated using the Random Sequential Adsorption (RSA) algorithm for creating a 

random fiber distribution that mimics the fiber placement observed in an actual 

composite ply; ii) the fiber-matrix interface damage is modeled with a bi-linear traction 

separation law; iii) to account for the matrix yield behavior, either Mohr-Coulomb or 

Drucker-Prager plasticity model was used. Using a similar approach, Vaughan et al. [25] 

conducted the micromechanical studies under transverse tensile load on a UD carbon-

epoxy composite ply. In the aforesaid study [25], the Nearest Neighbor Algorithm (NNA) 

was used to generate an RVE model with random fiber distributions.  
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The above mentioned research work has shown the effect of RVE size, matrix 

plasticity model and various fiber/matrix interface parameters on the predicted stress-

strain and damage behavior of the UD FRP composite plies.  

 

Even though several researchers tried to predict the ply level stress-strain 

behavior and the bi-axial failure envelopes of a UD composite ply using computational 

micromechanics, often these results are not directly compared (one-on-one) with the 

experimental results. This can be attributed to the fact that there is a lack of reliable 

fiber/matrix interface data in the open literature. Moreover, related to the matrix 

material behavior, as stated by Fiedler et al. [26] the polymer matrix behaves differently 

in a composite ply compared to its bulk form. In addition, a detailed study is missing 

regarding the influence of in-situ epoxy material properties on the predicted RVE 

average stress-strain behavior. 

 

In general, for the micromechanical FE simulations, the bulk epoxy material 

properties are used [19][22][25][27]. However, as stated by Hobbiebrunken et al. [28], 

“the strength and the capability of plastic deformation of the epoxy matrix is controlled 

by the matrix physics properties as well as by the acting stress state and stressed 

volume”. In this regard, from the microscale tension testing of thin epoxy circular rods 

(ø=36.7 µm) [28] to nano-indentation tests accomplished on the in-situ epoxy 

[21][29][30] reveal that the tension and compression strength values obtained from the 

bulk epoxy testing are approximately 20-55% lower than the strength values obtained 

from in-situ (nanoindentation) and microscale epoxy tests.  
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Similar to the aforementioned observations, based on the microcompression tests 

conducted using epoxy micropillars, Wang et al. [31] concluded that there is a significant 

size effect on the measured yield strength, and exhibiting the relation of “the smaller, the 

harder”. The enhanced Young’s modulus and yield strength of the epoxy matrix under 

microscale tension and compression tests is attributed to the diminishing number of 

available weak bonds. 

 

Considering the goal of the current numerical study i.e. estimating the bi-axial 

failure envelope of a UD composite ply, while understanding the influence of microscale 

parameters on the macroscopic stress-strain behavior, the following numerical 

methodology is employed. i) an RVE model is generated using the fibers distribution and 

the placement of the fibers observed in a microscopic image of an actual UD composite 

ply; ii) initially, Abaqus built-in cohesive zone module is used to capture the fiber/matrix 

interface damage initiation and propagation. However, under the applied transverse 

compression load, to facilitate the load carrying capability of the fiber and matrix 

surfaces after the interface element damage, friction combined with a cohesive damage 

model [32] is implemented into Abaqus/explicit using VUMAT. iii) in order to model the 

effect of hydrostatic stresses on the yield behavior of the epoxy matrix, the linear 

Drucker-Prager plasticity model combined with the nondilatant flow rule is employed; iv) 

under the applied individual load cases, a coupled experimental-computational study is 

conducted to calibrate and estimate the influence of various microscale parameters such 

as interface strength, fracture energy, friction and in-situ epoxy stress-strain behavior on 

the predicted RVE average stress-strain response;  
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vi) finally, the proposed numerical methodology is extended to predict the bi-axial 

failure envelope, and the obtained numerical strength values are compared to the 

experimental failure envelope [33]. Here, the authors want to highlight that, in the current 

research work the effect of the random distribution of the interface properties on the 

predicted macroscopic stress-strain behavior is not considered. For more information on 

this aspect, readers are referred to the research work of Naderi et al. [34]. Moreover, the 

effect of the voids, as well as thermal residual stresses are also not considered as a part of 

the current computational work. 

2. Computational micro-mechanical modeling methodology 

2.1.  RVE FE model 

 

In order to accomplish the micromechanical FE analysis, an RVE model with 

random fiber distribution needs to be created. The chosen fiber placement in the RVE 

must be statistically representative of the fiber distribution that is observed in an actual 

composite ply. Also, the chosen RVE should be large enough so that the average 

properties of this volume element are independent of its size and position within the 

material [24]. Regarding the optimal size of an RVE that needs to be used for 

computational micromechanical analysis, Naya et al. [21] concluded that an RVE model 

having approximately 50 fibers can adequately capture the essential features of the 

composite microstructure. Hence, for the current numerical studies, a 49 fibers RVE 

model is generated. In addition, the created RVE model is based on the fiber placement 

observed in an actual microscopic image of a UD composite ply [35]. As highlighted in 

Fig 1a, a section of a composite ply is selected in such a way that the local fiber volume 

fraction in the chosen field of view is similar to the macroscopic fiber volume fraction 

(60%) of the composite.  
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As shown in Fig 1b, the obtained non-periodic fiber distribution is converted into a 

periodic microstructure using the following procedure. The fibers highlighted in red 

circles (Fig 1b) belong to the periodic microstructure. However, the edge fibers marked 

by the blue circles (B1, B2, and T1) hinder the periodicity of the microstructure. Hence, 

to facilitate the periodicity, corresponding to B1, B2 and T1 fibers, B1', B2' and T1' are 

created on the opposite face of the RVE (Fig 1b). Finally, the fiber marked by the yellow 

circle is removed from the selected field of view. Consequently, the generated RVE CAD 

model (Fig 1c) is a perfectly periodic microstructure. Here it should be emphasized that 

the above mentioned RVE CAD model generation process is completely automated with 

the help of a python script. For the aforesaid python program, the input data need to be 

provided in the form of individual fiber centroids as well as the fiber diameter. 

 

As shown in Fig 1d, the generated RVE model has a square shape with an equal 

length and width of 53.4 µm, and a thickness of 1.65 µm. From the RVE thickness point 

of view, previous studies of Totry et al. [36] concluded that the chosen RVE thickness 

does not show any influence on the predicted numerical results. Hence, the chosen RVE 

thickness (1.65 µm) for the current numerical simulations is a compromise between the 

aspect ratio of the FE mesh to the speed of the numerical simulations. Moreover, since 

the crack tunneling is not considered in the current modeling work, choosing a small 

thickness (1.65 µm) of the RVE is justifiable [37]. 
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In order to accomplish the micromechanical simulations, the RVE geometrical 

model is translated into an FE mesh using continuum 3D elements in Abaqus. The FE 

mesh of the RVE model (Fig 1d) consists of a majority of C3D8R elements along with 

few C3D6R elements. The generated RVE model consists of IM7 carbon fiber as 

reinforcement and the epoxy matrix (Hexcel 8552) as a binder material. For the RVE 

modeling purpose, the carbon fiber diameter is taken as 6.6 µm [25] and the overall fiber 

volume fraction of the RVE is maintained at 60%.  

 

From the RVE boundary conditions perspective, to capture the periodicity of the 

stress-strain fields, the periodic boundary conditions (PBCs) are imposed on the RVE 

model as specified in [38]. In order to apply the PBCs, initially, a conformal FE mesh is 

generated for the above mentioned RVE model (Fig 1c). Moreover, the application of 

PBCs to the RVE model is automated with the help of a MATLAB script. Finally, the 

fibers in the RVE do not contribute to the transverse damage, hence, the fibers are 

considered as elastic and transversely isotropic materials (Table 1). Consequently, the 

following sections present a detailed description of the material models used for the 

interface and the epoxy matrix. 

 

2.2.  Fiber-matrix interface damage modeling 

 

For simulating the damage initiation and subsequent damage propagation of the 

interface, three dimensional eight noded cohesive elements (COH3D8) having a 

thickness of 0.1 µm were inserted between the fiber and matrix in the RVE (Fig 1d).  
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The constitutive response of these elements is governed by the bi-linear traction-

separation law [38], which relates the separation across the interface with the traction 

vector acting upon it. In general, the cohesive elements damage initiation is modeled 

using either maximum nominal stress or quadratic stress criteria. The damage 

propagation is modeled using mixed mode fracture criteria [39] [25] [22] [24]. After the 

interface element final failure, its load resisting capability is reduced to zero. However, 

for an RVE under transverse compression, the friction between fiber-matrix surfaces 

must offer some resistance to the applied external load even after the complete failure of 

the interface element [32]. In this regard, to incorporate the effect of friction on the 

interface tractions, Alfano et al. [40] proposed a mixed mode damage evolution criteria 

combined with the Coulomb friction law. In similar guidelines, Van Der Meer et al. [41] 

and Chevalier et al. [42] used the CZM coupled with Coulomb friction law.  

 

For the current numerical studies, a cohesive zone model that consists of interface 

damage combined with the Coulomb friction law is implemented into Abaqus/explicit 

using VUMAT as proposed by [40] [41] [42] [43]. In the current section, firstly, detailed 

formulations of the implemented cohesive zone damage model into Abaqus will be 

explained. Later, the conjunction of the frictional effects with the cohesive zone damage 

model will be discussed. The constitutive equation for the linear elastic behavior of the 

aforesaid traction separation law is defined through the following equation. 

 [

𝑡1
𝑡2
𝑡𝑛

] =   [
𝐾1 0 0
0 𝐾2 0
0 0 𝐾𝑛

] [

𝛿1

𝛿2

𝛿𝑛

]       (1) 
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In the above equation tn, t1, and t2 are the normal (Mode I) and shear (Mode II & 

Mode III) stresses at the interface, while the corresponding displacements are denoted by 

δn, δ1, and δ2 respectively. Besides, Kn, K1, and K2 are the values of interface stiffness 

corresponding to Mode I, Mode II and Mode III respectively. Here, it should be 

mentioned that for the current numerical studies the values of normal and shear stiffness 

are assumed to be equal (i.e. Kn=K1=K2=K). The interface damage is assumed to be 

governed by the effective mixed mode displacement λ which is defined by the following 

expression [43]. 

𝜆 =  
𝐾1𝛿1

2+𝐾2𝛿2
2+ 𝐾𝑛〈𝛿𝑛〉2

√𝐾1𝛿1
2+𝐾2𝛿2

2+ 𝐾𝑛〈𝛿𝑛〉2
         (2) 

For interface damage initiation, the damage activation function F(λ) is defined as 

follows [43]. 

𝐹(𝜆) =  𝐻(𝜆) − 𝜌𝑑  ≤ 0        (3) 

As soon as the above mentioned damage activation function reaches zero, the 

interface damage will be initiated. In the above equation ρd is a threshold function, and 

H(λ) is a function of effective displacement which evolves monotonically after damage 

initiation. These functions are updated at every time step ‘t’ during the numerical 

analysis, which are defined as follows: 

𝐻(𝜆) = min {
(𝜆−𝜆0)

(𝜆𝑓−𝜆0)
, 1}        (4) 

𝜌𝑑 = max{0,𝑚𝑎𝑥𝑠 𝐻(𝜆)} 0 < 𝑠 < 𝑡         ∀𝑡     (5) 
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In Eqn 4, λ0 and λf are the effective mixed mode displacement jumps 

corresponding to damage initiation and final failure of the interface respectively (Fig 2b). 

Whereas λ is the instantaneous effective displacement computed at every time step during 

the analysis. Using the quadratic nominal stress criterion [44] in combination with the 

individual traction separation equations, λ0 is calculated using the following equation 

[45]. 

𝜆0 = {
𝛿𝑛

0𝛿1
0√

1+ 𝛼2

(𝛿2
0)2+(𝛼𝛿𝑛

0)2
, 𝛿𝑛 > 0

√(𝛿1
0)2 + (𝛿2

0)2, 𝛿𝑛 ≤ 0

      (6) 

Where, 𝛼  = mode-mixity ratio =  
√(𝛿1)2+(𝛿2)2

𝛿𝑛
 

In addition, λf is calculated using the Benzeggagh-Kenane (BK) mixed-mode 

fracture criteria [46] and is given in the following form.  

𝜆𝑓 = {

2 

𝐾𝜆0  [𝐺𝑛
𝑐 + (𝐺𝑠

𝑐 − 𝐺𝑛
𝑐) (

𝛼2

1+ 𝛼2)
𝜂

] ,′ 𝛿𝑛 > 0

√(𝛿1
𝑓
)2 + (𝛿2

𝑓
)2 ,      𝛿𝑛 ≤ 0 

     (7) 

In the above equation, Gn
c  is the critical normal fracture energy and Gs

c is the 

critical shear fracture energy. Moreover, η represents the BK power-law coefficient and 

is taken as 1.45 [27]. Finally, the constitutive equation for mixed-mode interface failure 

for the cohesive zone damage model without frictional stresses is defined by the 

following expression. 

𝜏 =  {
𝜏𝑢                                        ;  𝜆 ≤  𝜆0

(1 − 𝐷)𝐾𝛿𝑖 , 𝑖 = 𝑛, 1, 2 ;  𝜆 > 𝜆0       (8) 
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In the above equation, τu represents the undamaged part of the interface stresses. 

Whereas ‘D’ is a scalar damage variable, which evolves monotonically from zero (no 

damage) to one (complete damage) and is defined as follows [43]: 

𝐷 =  
𝜌𝑑𝜆𝑓

𝜌𝑑𝜆𝑓+(1−𝜌𝑑)𝜆0         (9) 

The above described set of equations (1-9) can fully estimate the damage initiation 

and evolution at the fiber-matrix interface under mixed mode load conditions. However, 

under specific load cases such as transverse compression, to capture the effect of friction 

between the fiber and matrix surfaces on the interface stresses, the above discussed 

cohesive zone model should be combined with a proper friction law. According to Alfano 

et al. [40], the interface tractions corresponding to a Representative Elementary Area 

(REA) (Fig 2a) can be divided into a damaged (τd) and an undamaged part (τu). Also, the 

relative displacements corresponding to both the parts across the REA are assumed to be 

equal and constant (δu = δd = δ) [40] [42]. The homogenized interface traction over the 

entire REA can be described in the following expression. 

𝜏 =  (1 − 𝐷)𝜏𝑢 + 𝐷𝜏𝑑        (10) 

In the above equation the first term [(1 − D)τu] defines the cohesive damage law, 

while Dτddenotes frictional stresses on the damaged interface. Similar to the assumption 

of REA interface stresses, the displacements corresponding to the damaged part of the 

REA is divided into an elastic (δde) and inelastic (δdi) part (Eqn 11), with δdi 

corresponding to the frictional sliding. 

𝛿𝑑 = 𝛿𝑑𝑒 + 𝛿𝑑𝑖         (11) 
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The following constitutive equation relates the displacements (𝛿𝑑𝑒 = 𝛿 − 𝛿𝑑𝑖) to 

corresponding tractions (τd) during the softening phase (Fig 2b). 

𝜏𝑑 = [
𝐾1 0 0
0 𝐾2 0
0 0 𝐾𝑛

] [

𝛿1 − 𝛿1
𝑑𝑖

𝛿2 − 𝛿2
𝑑𝑖 

−〈−𝛿𝑛〉
]       (12) 

Here, it should be noted that the utilization of the Macaulay bracket in the above 

equation implies that compressive normal displacement does not affect the interface 

damage model. In the above equation, δ1
di and δ2

di represent the inelastic sliding occurring 

due to friction (Fig 2b) in the damaged part of the REA. The evolution of inelastic 

frictional sliding is governed by the following equation [42]: 

𝛿𝑑𝑖 =  𝜆

[
 
 
 
𝜕𝜙

𝜕𝜏1
𝑑

𝜕𝜙

𝜕𝜏2
𝑑

0 ]
 
 
 

         (13) 

In Eqn 13 ‘ϕ’ is a friction function and λ corresponds to the displacement jump 

defined previously by Eqn 2. The friction function ϕ is defined as follows: 

𝜙 =  𝜇 𝜏𝑛
𝑑 + 𝜏𝑠

𝑑.         (14) 

Where, 𝜏𝑠
𝑑 = √(𝜏1

𝑑)
2
+ (𝜏2

𝑑)
2
 

Finally, the constitutive equation for the interface damage combined with the 

Coulomb friction law takes the following form:  

𝜏 =  (1 − 𝐷) [
𝐾1 0 0
0 𝐾2 0
0 0 𝐾𝑛

] [

𝛿1

𝛿2

𝛿𝑛

] + 𝐷 [
𝐾1 0 0
0 𝐾2 0
0 0 𝐾𝑛

] [

𝛿1 − 𝛿1
𝑑𝑖

𝛿2 − 𝛿2
𝑑𝑖  

−〈−𝛿𝑛〉

]  (15) 
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Summarizing the above described damage methodology, Fig 2c shows a detailed flow-

chart of the implemented interface damage model combined with the Coulomb frictional 

law. In order to validate the implemented VUMAT code, the predicted numerical stress-

strain curves without frictional effects are compared to the stress-strain curves obtained 

using Abaqus built-in cohesive zone model. 

 

2.3.  Epoxy material modeling 

 

It is a well documented fact that the yield behavior of the polymeric materials is 

sensitive to the hydrostatic pressure. As a consequence, the yield stress in tension 

becomes different from the yield stress in compression [47]. In this regard, the 

mechanical behavior of polymer material can be appropriately modeled by using the 

Drucker-Prager plasticity model [6], which incorporates a linear dependence on 

hydrostatic stress. The following equation describes the yield criterion for the linear 

Drucker-Prager model. 

𝐹 = 𝑡 − 𝑝𝑡𝑎𝑛𝛽 − 𝑑 = 0;  𝑡 =  
1

2
 𝑞 [(1 +

1

𝐾
) − (1 −  

1

𝐾
) (

𝑟

𝑞
)

3

] (16) 

Where p is the hydrostatic stress, β is the slope of the linear yield surface in p-t 

stress plane, d is the cohesion strength, r is the third invariant of the deviatoric stress, q is 

the von Mises equivalent stress, t is the flow stress and K is the ratio of yield stress in 

triaxial tension to triaxial compression. In the above equation, the K value accounts for 

stress path variation of shear strength under given hydrostatic pressure and determines the 

shape of the yield function in the deviatoric stress plane.  
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Apart from 𝑞 and K, the flow stress ‘t’ consists of the Lode’s angle as a ratio of the 

third to the second invariant of the deviatoric stress [48].  

 

For the current FE simulations, the input material properties for the Drucker-

Prager plasticity model, such as β and K values are calculated using the relation between 

the Mohr-Coulomb and the Drucker-Prager yield criteria. According to the Mohr-

Coulomb criteria, the cohesion stress c (c ≠ d) and the angle of internal friction (ϕ) are 

related to the tensile (σmt) and compressive strengths (σmc) of the material by the 

following expression [24]. 

𝜎𝑚𝑡 =  2𝑐
cos𝜙

1+ sin𝜙
 ; 𝜎𝑚𝑐 =  2𝑐

cos𝜙

1− sin𝜙
      (17) 

Here it should be noted that, in the absence of the neat 8552 epoxy (Hexcel) stress-

strain curves, for the current numerical study, bulk epoxy stress-strain curves are used 

from a similar aviation grade material (8551-7 from Hexcel) [49]. In addition, as 

reported in [49] and [50], both 8551-7 and 8552 bulk epoxy matrix have similar tensile 

and compression strength values (𝜎𝑚𝑡= 99 MPa and 𝜎𝑚𝑐 = 130 MPa).  

 

Corresponding to the aforesaid strength values, using Eqn 4, the internal material 

friction angle ϕ and the cohesion yield stress 𝑐 of the epoxy were obtained as 7.78° and 

56.72 MPa respectively. As an additional validation, the computed cohesion stress value 

is compared to the experimental shear strength of the epoxy (57 MPa) [50] and a very 

good correlation is observed.  
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With the Mohr-Coulomb internal material friction angle (ϕ), the slope of the yield 

surface (β) for the Drucker-Prager plasticity model is computed using the below equation 

[19]. 

 

tan𝛽 =  
6 sin𝜙

3−sin𝜙
Error! Digit expected.       

  (18) 

 

The above equation gives the β value of 15°. Similarly, the ratio of the triaxial 

tension to compression (K) is computed as 0.89 using the below equation [39]. 

 

𝐾 = 
3− sin𝜙

3+ sin𝜙
         (19) 

 

Using the above discussed yield criterion, the matrix material starts to deform 

plastically when the yield surface is reached. Further loading produces the plastic flow in 

the epoxy material. Under the Drucker-Prager plasticity condition, the plastic flow (G) is 

defined by the following equation [48]. 

𝐺 = 𝑡 − 𝑝𝑡𝑎𝑛𝜓        (20)  

Where 𝜓 represents the dilatation angle in the p-t stress plane. Under the 

conditions of the nondilatant flow rule, the 𝜓  value is set to zero. This is due to the fact 

that volume changes in the yielding or post-yielding regimes have been reported to be 

minor for polymer materials [51].  
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Using the above discussed RVE modeling methodology, to avoid convergence 

issues caused by the interface damage and the matrix plastic deformation, the following 

FE simulations are accomplished in Abaqus / explicit using the direct integration method. 

In order to obtain a thorough understanding of various explicit solver parameters that can 

influence the outcome of the quasi-static computational micromechanical results, readers 

are referred to the recent research work of Garoz et al. [52]. In the similar guidelines of 

[52] [53], detailed parametric studies are conducted on various explicit parameters. 

Eventually, to speed up the simulation process while minimizing the errors caused by the 

explicit analysis, the mass scaling factor of 1E+6 is applied to the entire RVE model. The 

aforesaid mass scaling factor is chosen as a compromise between the speed of the 

numerical analysis to the accuracy of the obtained results. Moreover, to preserve the 

quasi-static nature of the applied loads, the kinetic energy of the whole (RVE) model is 

kept below 10% of the total internal energy [53], which in turn depends on the chosen 

mass scaling factor (1E+6) as well as the load rate (1s-1). 

3. Results and Discussion 

3.1. Validating the plasticity model 

 

For calibrating the chosen element for the FE mesh and the plasticity model for the 

matrix, bulk epoxy material FE simulations are accomplished under tension, compression 

and shear loads. For the computational purpose, a cubic geometry (1mm3) is modeled 

using C3D8R elements. Moreover, kinematic (displacement) boundary conditions are 

applied to the FE model (Fig 3a) as described in Ullah et al. [18]. In order to capture the 

non-linear stress-strain behavior of the epoxy, along with the above computed K and β 

values (Table 2), the following input data is provided to the Drucker-Prager plasticity 

model: 
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 i) within the linear elastic limit, Young’s modulus and Poisson's ratio listed in 

table 1 are used; ii) beyond the elastic limit, true stress vs. true plastic strain values are 

derived from the experimental stress-strain curves [49] and given as an input to the 

plasticity model for tension and compression simulations; iii) for shear calculations, 

material cohesion strength (d) vs. plastic shear strain values are given as input [39]. As 

shown in Fig 3b, under various load conditions, the predicted stress-strain behavior 

matches very well with the experimental [49] bulk epoxy stress-strain curves. 

 

3.2.  RVE under transverse tension 

 

In order to understand the effect of various material properties influencing the 

transverse tensile stress-strain and damage behavior of an RVE, the following important 

aspects related to the micromechanical FE simulations are addressed: i) initially, a 

parametric study is conducted to calibrate the strength and fracture energy values used for 

the fiber-matrix interface; ii) using the calibrated interface properties, a detailed damage 

analysis is conducted for the RVE under transverse tension. Here it should be highlighted 

that the above mentioned numerical studies are accomplished using bulk epoxy tensile 

stress-strain curve (Fig 3b); iii) finally, in order to estimate the effect of in-situ epoxy 

material properties on the predicted transverse tensile strength, RVE FE simulations are 

accomplished using in-situ epoxy material properties obtained from the nanoindentation 

testing on a carbon-epoxy composite ply [21]. 
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3.2.1. Calibrating the mode I interface properties 

 

Attributed to the difficulties in obtaining the interface normal strength and fracture 

energy values (mode I) using simple experimental testing, reliable mode I interface data 

is not available in the open literature. Hence, in the current research work, the mode I 

interface properties are evaluated through reverse engineering based on correlating the 

obtained RVE average stress-strain behavior to the experimental macroscopic stress-

strain behavior [54]. In order to validate the RVE FE simulations, experimental 

macroscopic stress-strain curves are taken from [50] and [55]. The aforementioned 

experimental studies are conducted on IM7/8552 UD carbon–epoxy composite material 

system that has a fiber volume fraction of 60%, which is similar to the RVE fiber volume 

fraction used for the current FE simulations.  

 

As explained in the above section, the cohesive elements that are used for 

representing the interface mechanical behavior follow the bi-linear traction separation 

law. Hence, in order to ensure the continuity of the stress-strain fields in the linear elastic 

region, an initial stiffness of 106 MPa/mm is assigned to the cohesive elements. For the 

parametric study of the interface properties, it is assumed that the transverse tensile 

strength of a composite ply is mainly influenced by mode I strength and fracture energy 

values compared to mode II interface properties [54]. Using the bulk epoxy tensile stress-

strain behavior, RVE FE simulations are accomplished by varying the mode I interface 

strength value from 45-65 MPa (Fig 4a).  
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The initial guess value for the mode I fracture energy is taken as 0.04 N/mm. In 

addition, mode II interface strength and fracture energy values for the initial calculations 

are taken as 96 MPa [56] and 0.107 N/mm [57] respectively.  

 

As shown in Fig 4a, for the chosen mode I fracture energy (0.04 N/mm) the 

interface strength value of approximately 60 MPa predicts the transverse tensile strength 

of the RVE that is in close agreement with the experimental strength. During the 

parametric study, it is observed that the transverse tensile strength and failure strain of a 

UD composite ply is a combined effect of both mode I interface strength and fracture 

energy values. Hence, in order to calibrate the mode I fracture energy, the interface 

strength value is varied around 60±5 MPa and the mode I fracture energy value is varied 

from 0.001 N/mm to 0.02 N/mm. From the aforementioned parametric study, the mode I 

interface strength of 57 MPa and fracture energy of 0.002 N/mm predict the average 

transverse tensile strength and failure strain of the RVE that is in good agreement with 

the experimental stress-strain curve. As shown in Fig 4b, keeping the calibrated mode I 

interface strength of 57 MPa constant, the effect of interface fracture energy on the 

transverse tensile stress-strain behavior is shown. From Fig 4 (a, b) one can observe that 

the transverse tensile strength and failure strain of an RVE is sensitive to the chosen 

mode I interface strength and fracture energy values. 



 

22 

 

 

3.2.2. RVE under transverse tension: micro-scale damage analysis  

 

The current section is devoted to present a detailed micro-scale damage analysis of 

the RVE under the applied transverse tensile load. Firstly, as shown in Fig 5a, a very 

good correlation is observed between the average stress-strain curves predicted using 

Abaqus built-in CZM to the cohesive zone damage model implemented using VUMAT. 

During the transverse tensile load application process, initially, at around 54 MPa average 

stress the interface damage initiation is observed (Fig 5b). As expected, the observed 

interface damage is mainly mode I dominant (Fig 5b). The initiation and propagation of 

the interface damage accelerate the plastic deformation of the epoxy strips that are 

bridging the neighboring interface decohesions (Fig 5c). As soon as the local equivalent 

stress in the epoxy strips that are connecting the neighboring interface damage reaches 

approximately 100 MPa (Fig 5c), RVE strain softening behavior is triggered. The 

aforementioned stress value corresponds to the tensile yield limit of the epoxy matrix 

(Fig 3b). The initiation of the strain softening process increases the epoxy strips plastic 

deformation and leads to the final failure of the interface elements (Fig 5d). 

 

For validating the current numerical methodology, the obtained FE interface 

damage profile (Fig 6a) is compared to the experimental micro-scale damage profile (Fig 

6b) [58]. The experimental micro-scale damage profile is obtained from the in-situ three-

point bend test conducted on a carbon-epoxy (HTA / L135i) laminate ([902/07/902]) 

inside a Scanning Electron Microscope (SEM) [58]. Duri ng the experimental testing, the 

interface damage profile is taken on the tension side 90° ply of the laminate.  
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Hence, the obtained experimental damage profile closely resembles the stress state of the 

current transverse tension FE simulations. Fig 6 (a, b) compares the obtained FE 

circumferential decohesion angles (54-70°) to the experimental values (64-70°) and a 

good correlation is observed. In addition, as reported by Paris et al. [59][60], the above 

discussed interface debonding angles match very well with the interface crack kinking 

angle (60°-70°) into the matrix under the applied transverse tensile load. 

 

3.2.3. RVE under transverse tension: bulk vs. in-situ epoxy material 

properties 

 

The above discussed micromechanical FE simulations are accomplished using the 

bulk epoxy non-linear stress-strain behavior obtained from the macro-scale experiments. 

Hence, implicitly it is assumed that the constituent matrix material of the RVE behaves 

similarly compared to the bulk epoxy material. “While it is unlikely that the fiber 

properties would change, there is a distinct possibility that the polymer properties could 

chemically change as a result of consolidation and/or cure process”. Moreover, apart 

from the process induced effects, regarding the size effects, the micro-scale epoxy fiber 

tests conducted on RTM 6 resin (Hexcel) by Hobbiebrunken et al. [28] lead to the 

following observations. Due to the relevance of the experimental findings reported by 

[28] to the current numerical studies, in the current section the authors tried to explain the 

micro-scale failure behavior of the epoxy resin in a rather detailed manner: i) under the 

applied tensile load, almost all the resin micro fibers showed a pronounced plastic 

deformation with the formation of a shear band and necking before the final failure (Fig 

7).  
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The above discussed failure process of the epoxy matrix is completely different 

from the brittle fracture behavior that is commonly observed from the macro-scale 

tension tests [26]. The above mentioned difference in the failure behavior between bulk 

epoxy and micro resin fibers is attributed to the average flaw size in the material under 

testing; ii) consequently, the size-related micro-scale matrix tensile strength is much 

higher (up to 55%) compared to the strength obtained from standard macro-scale test 

methods using bulk epoxy resin; iii) attributed to the higher in-situ strength capability of 

the epoxy matrix, the fiber-matrix interface debonding becomes the governing process for 

initial failure in composite materials and the interfacial strength becomes even more 

important; iv) finally, considering the size of resin pockets present in a typical fiber-

reinforced composite, Hobbiebrunken et al. [28] projected that the micro-scale epoxy 

strength in compression and shear will be at least 1.55 times higher than the bulk epoxy 

strength.  

 

Table 2 compares the in-situ epoxy matrix material properties measured from 

nanoindentation tests [21] to the bulk epoxy material properties [50]. Using the in-situ 

epoxy material properties, the Drucker-Prager plasticity parameters are computed and are 

listed in Table 2. Considering the in-situ epoxy material properties (Table 2), RVE FE 

simulations are accomplished under transverse tensile load and the obtained results are 

compared to the average stress-strain curve predicted using the bulk epoxy material 

properties. Due to the non-availability of the non-linear stress-strain curve for the in-

situ epoxy matrix, elastic-perfectly plastic material behavior is assumed.  
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As shown in Fig 8, the predicted transverse tensile strength of the RVE using in-

situ epoxy material properties is in reasonable agreement with the strength value 

predicted by the RVE using bulk epoxy non-linear stress-strain curve. Attributed to the 

elastic-perfectly plastic material properties used to represent the in-situ epoxy material 

behavior, the predicted stress-strain curve has a higher slope and hence slightly lower 

failure strain compared to the experimental results.  

 

From the above discussed comparative study, one can observe that even though the 

in-situ epoxy matrix tensile strength is 22 MPa higher than the bulk epoxy tensile 

strength, its influence on the transverse tensile strength of the RVE is negligible. The 

aforementioned phenomenon can be attributed to the fact that, once the interface damage 

initiates, the epoxy strips that are bridging the neighboring interface damage act as a load 

transfer material between the two halves of the RVE (Fig 6a). Attributed to the size of 

these epoxy strips, even a minuscule increment in the applied external load causes the 

stress concentration to increase sharply and reaches the tensile yield limit of the epoxy, 

and consequently triggering the RVE strain softening behavior. Hence, from the above 

discussed interface as well as the matrix strength studies, it can be concluded that the 

transverse tensile strength of a UD composite ply is mainly controlled by the brittle 

failure behavior of the fiber-matrix interface [61]. For more information related to the 

effect of matrix material failure behavior on the predicted transverse tensile stress-strain 

response of an RVE, readers are referred to the recently published work of the authors 

[61]. 
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3.3. RVE under transverse compression 

 

In order to understand various microscale parameters that are influencing the 

average compressive stress-strain behavior of an RVE, detailed numerical studies are 

conducted to address the following aspects: i) due to the availability of experimental 

mode II interface values for carbon-epoxy composite [56] [57], initial FE simulations are 

accomplished to study the effect of matrix material properties on the predicted transverse 

compressive stress-strain response of the RVE; ii) later, the effect of friction between the 

fiber/matrix interface on the predicted RVE strength is estimated; iii) finally, a detailed 

parametric study is conducted to estimate the effect of mode II interface strength and 

fracture energy values on the predicted transverse compressive stress-strain behavior. 

 

3.3.1. RVE under transverse compression: bulk vs. in-situ epoxy material 

properties 

 

In the process of estimating the transverse compression stress-strain behavior of a 

UD composite ply using micromechanical simulations, initially, RVE FE analysis is 

accomplished using bulk epoxy non-linear compression stress-strain curve (Fig 3b). 

Regarding interface material properties, already calibrated mode I strength (57 MPa) and 

fracture energy (0.002 N/mm) values are kept constant. The mode II interface strength 

value is taken from the experimental micro-bond tests conducted on an IM (Intermediate 

Modulus) carbon–epoxy (Hexcel) material system [56]. The aforesaid experiments 

reported the mode II interface strength value as 96±18 MPa. Hence, the mode II interface 

strength for the current numerical simulations is taken as 96 MPa.  
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The mode II interface fracture energy value is taken as 0.107 N/mm, which is 

experimentally measured on an IM carbon fiber-epoxy material system by Yalle et al. 

[57]. 

 

As shown in Fig 9a, the implemented cohesive zone damage methodology using 

VUMAT predicts similar stress-strain behavior compared to Abaqus built-in CZM. 

Moreover, one can observe that the predicted compressive strength of the RVE is 

approximately 40% lower compared to the experimental value (Fig 9a). A detailed study 

of the local stress-strain and damage profiles leads to the following observations: i) at 

around 130 MPa average compressive stress, the interface damage initiates; ii) as 

observed in the microscale transverse compression experiment of a UD CFRP composite 

ply [42] (Fig 9b), the current numerical methodology predicts the plastic strain 

localization in the epoxy matrix around the fiber-matrix interface damage (Fig 9c); iii) 

followed by the interface damage, at around 150 MPa average compressive stress the 

accumulated plastic strain in conjunction with the interface damage started to form a 

dominant shear band; iv) finally, in accordance with the epoxy matrix internal material 

friction angle (
∅

2
≅ 40) combined with the RVE local fibers placement, the plastic shear 

band forms across the RVE at an angle of 490 perpendicular to the load application 

direction (Fig 10a). Moreover, the predicted plastic shear band angle is within the limits 

of the experimental shear band formation angle (𝜃𝑐 = 53 ± 30) observed from the 

transverse compression tests conducted on a UD carbon-epoxy composite ply (Fig 10b) 

[24]. Hence, we can conclude that the predicted micro and macroscale damage profiles 

are similar to the experimentally observed damage patterns. 
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As shown in Fig 9a, the discrepancy between the predicted and the experimental 

compressive stress-strain curves can be attributed to the following two aspects of the 

constituent materials of the RVE: i) in-situ epoxy stress-strain behavior; ii) friction 

between the fiber/matrix interface. Hence, in order to investigate the effect of epoxy 

material properties, RVE FE simulations are accomplished using in-situ epoxy elastic-

perfectly plastic material data (Table 2) [21]. As shown in Fig 11a, the predicted 

compression strength of the RVE using in-situ epoxy compression strength (176 MPa) 

without friction is approximately 215 MPa. Considering the experimentally reported 

variation in the in-situ epoxy strength (176±17 MPa), the friction coefficient between the 

fiber-matrix interface is varied from 0-0.4. As shown in Fig 11b, the in-situ epoxy 

strength of 183 MPa combined with the interface friction of 0.4 predicts the RVE 

compressive strength that is in good agreement with the experimental strength.  

 

From the above discussed transverse compression simulations, it can be concluded 

that the in-situ compression strength of the epoxy matrix directly controls the shear band 

formation stress levels, and consequently influences the predicted average transverse 

compression strength of the RVE [42]. Moreover, as shown in Fig 11b, attributed to the 

assumed elastic-perfectly plastic material behavior for the in-situ epoxy matrix, the 

overall stress-strain behavior of the RVE is not in good agreement with the experimental 

stress-strain curve. Hence, the in-situ non-linear compression stress-strain curve for the 

epoxy matrix is estimated by matching the RVE average stress-strain response to the 

experimental compressive stress-strain response of the UD composite ply.  
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Using the mode II interface strength of 96 MPa and fracture energy of 0.107 

N/mm, along with the estimated in-situ epoxy compression stress-strain curve (Fig 11c), 

the predicted average compressive stress-strain behavior of the RVE (Fig 11d) is in 

reasonable agreement with the experimental results. Finally, combining the estimated in-

situ epoxy curve (Fig 11c) with a friction coefficient of 0.4, the predicted RVE 

compressive strength and failure strain are in good agreement with the experimental 

results. As shown in Fig 11d, incorporating the friction coefficient increases the 

compression strength of the RVE by approximately 13 MPa. Finally, as shown in Fig 

11c, one can observe that the predicted in-situ compression strength value of the epoxy 

matrix is approximately 60% higher than the bulk epoxy compression strength, which is 

in line with the projected compression strength value for in-situ epoxy reported by 

Hobbiebrunken et al. [28].  

 

As discussed above, the RVE ductile stress-strain behavior under the applied 

transverse compression load is not only influenced by the in-situ matrix properties but 

also depends on mode II interface strength and fracture energy values. Hence, using the 

predicted in-situ epoxy stress-strain curve (Fig 11c), a detailed parametric study is 

conducted. For the current numerical studies, mode II interface strength value is varied 

from 40 MPa to 120 MPa, while keeping the mode II fracture energy constant at 0.107 

N/mm. As shown in Fig 12a, the interface strength value has a significant influence on 

the predicted failure stress, strain and the overall ductile stress-strain behavior of the 

RVE.  
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Moreover, from Fig 12a one can observe that the interface strength values above 

100 MPa predict almost similar stress-strain response. Besides the mode II interface 

strength, interface fracture energy can influence the average stress-strain behavior. In 

order to investigate the influence of interface fracture energy on the average compressive 

stress-strain behavior, the experimentally measured interface strength of 96 MPa is kept 

constant, and the interface fracture energy value is varied from 0.05 N/mm to 0.2 N/mm. 

As shown in Fig 12b, except at lower interface fracture energies (< 0.05 N/mm), all the 

predicted stress-strain curves with other fracture energies almost converged to the 

experimental stress-strain curve.  

 

3.4. RVE under in-plane shear load 

 

In order to predict the in-plane shear stress-strain response of a UD composite ply 

using micromechanical FE simulations, numerically calibrated mode I and experimental 

mode II interface strength and fracture energy values (Table 3) are used. As shown in Fig 

13a, the predicted in-plane shear strength of the RVE using bulk epoxy shear stress-strain 

curve is approximately 43% lower than the experimental shear strength. Moreover, one 

can observe that the predicted RVE average shear strength (57 MPa) (Fig 13a) is similar 

to the computed bulk epoxy cohesion strength. Hence, as explained above (RVE under 

transverse compression), in order to predict the in-situ shear stress-strain behavior of the 

epoxy, RVE in-plane shear simulations are accomplished by matching the predicted 

average stress-strain response to the experimental in-plane shear stress-strain behavior.  
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Fig 13b shows the in-situ shear stress-strain behavior of the epoxy in comparison 

to the bulk epoxy shear stress-strain behavior. Finally, Fig 13c shows the comparison 

between the experimental [50] vs. numerical in-plane shear stress-strain response of the 

RVE. 

 

4. Predicting the bi-axial failure envelope  

To achieve the goal of the current research work, using the interface mechanical 

properties listed in Table 3 along with the estimated in-situ epoxy stress-strain curves, the 

RVE is subjected to bi-axial loading in σ22-τ12 plane. Each point in the predicted failure 

envelope (Fig 14) corresponds to a particular ratio of transverse (tension/compression) to 

in-plane shear displacement. In addition, the predicted failure envelope is marked based 

on the observed dominant failure mode under the applied bi-axial load. As shown in Fig 

14, the effect of the interface friction coefficient is negligible in the tension dominated 

region of the failure envelope. However, in the shear dominated failure region, the 

interface friction coefficient shows a minor influence. In contrast, one can observe that 

the increase in friction coefficient from 0.2-0.4 causes the increase in the bi-axial strength 

of the RVE in the compression dominated region. Nevertheless, increasing the friction 

coefficient from 0.4-0.6 does not show a significant influence on the bi-axial strength of 

the RVE. Finally, Fig 15 (a, b) shows the failure profiles of the RVE in the combined 

transverse tension-in-plane shear and transverse compression-in-plane shear dominated 

stress space respectively. 
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5. Conclusions 

A comprehensive micromechanics based FE analysis methodology is presented to 

predict the bi-axial failure envelope of a UD composite ply in the matrix dominated 

directions. A coupled numerical-experimental methodology is employed to predict and 

calibrate the interface and in-situ epoxy properties. In order to include the frictional 

sliding between fiber-matrix interface, cohesive zone damage methodology combined 

with the Coulomb frication law is implemented into Abaqus /explicit using VUMAT. 

Under individual load cases, the obtained damage profiles and stress-strain curves are 

compared to the experimental results. Finally, the thoroughly validated numerical 

methodology under uniaxial load cases is extended to predict the bi-axial failure envelope 

of a UD composite ply. Detailed micromechanical studies related to various material 

parameters that are influencing the strength and failure strain predictions of the RVE lead 

to the following conclusions: 

i) From the above presented numerical methodology, one can observe that 

the chosen matrix material properties have a minor influence on the 

predicted transverse tensile strength of the RVE. Hence, using the bulk 

epoxy non-linear stress-strain behavior as an anchor point, mode I 

interface strength and fracture energy values are calibrated. 

ii) Under the applied transverse tensile load, the predicted homogenized 

strength and failure strain, as well as the brittle failure behavior of the 

RVE are mainly influenced by mode I interface strength and fracture 

energy values. 
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iii) In contrast, transverse compression and in-plane shear stress-strain 

behavior of the RVE is mainly influenced by the in-situ epoxy stress-strain 

behavior. Hence, keeping the experimental mode II interface strength and 

fracture energy values as anchor points, the in-situ compression and in-

plane shear stress-strain response of the epoxy matrix is estimated. 

iv) Similar to the conclusion of [28] [29] [62], the predicted in-situ 

compression and shear strength of the epoxy matrix is much higher than 

the bulk epoxy strength, which is directly controlling the compression and 

in-plane shear stress-strain behavior of the RVE. 

v) By observing the failure behavior of the RVE under biaxial loads, it can be 

concluded that under the combined transverse tension - in-plane shear 

loads, the failure behavior of the RVE is mainly controlled by the mode I 

interface strength values. 

vi) Under transverse compression - in-plane shear loads, the yield behavior of 

the RVE is mainly controlled by the in-situ strength of the epoxy matrix. 

vii) The friction between the fiber-matrix interface shows a considerable 

influence on the predicted strength values under biaxial loads, especially, 

under transverse compression-in-plane shear dominated stress space. 
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viii) After conducting a detailed study regarding the influence of various 

microscale parameters on the macroscopic stress-strain behavior, the 

future research work in this area should focus on the following aspects: a) 

understanding the in-situ epoxy yield behavior under shear as well as 

combined loads; b) experimental evaluation of mode I interface properties. 
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Table 1. CFRP UD ply constituent level elastic properties[42][50]  

Property Carbon fiber  8552 epoxy Resin  

Longitudinal modulus E11 [GPa] 238 4.08 

Transverse modulus E22, E33 [GPa] 28  

Poisson’s ratio nu12, nu13 [-] 0.28 0.38 

Shear modulus G12, G13 [ GPa] 24 - 

Shear modulus G23 [GPa] 7.2 - 

 

Table 2. Comparison between epoxy material properties obtained from 

different experimental techniques at different length scales. 

 Bulk epoxy 

[50] 

Epoxy (micro-scale) 

fiber test [28] 

In-situ epoxy test 

(nanoindentation) 

[21] 

Elastic Modulus [GPa] 4.08 - 5.07 

Poisson’s ratio [-] 0.38 - 0.35 

Tensile strength [MPa] 99 135±21 121 

Compression strength [MPa] 130 - 176±17 

Cohesion stress (c)* [MPa] 57 - 73 

Ratio of tri-axial tension to tri-

axial compression*, K [-] 

0.91 - 0.89 

Slope of the yield surface*, β [-] 15.73 - 21.53 
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*Computed values using the relation between the Mohr-coulomb and the 

Drucker-Prager plasticity criterion. 

 

Table 3. Calibrated and experimental [56] [57] fiber-matrix interface properties 

for the IM7/8552 carbon–epoxy material system.  

 

Property Mode I Mode II /Mode III 

Interface strength [MPa] 57 96 

Interface fracture energy [N/mm] 0.002 0.107 
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Fig 1.  RVE model generation based on the microstructure: a) fiber distribution in a 900 ply of a UD composite [35]; b) fibers 

highlighted showing the centroid and the diameter (edge fibers are highlighted to show the periodicity); c) RVE geometrical 

model; d) RVE with different constituent materials. 
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c) 

 
Fig 2. Interface damage model coupled with friction: a) Representative Elementary Area 

[40]; b) graphical representation of the traction-separation law combined with 

friction [41]; c) flow-chart of the implemented interface damage model combined 

with Columb friction law. 
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Fig 3. Calibrating the matrix material model: a) geometry and boundary conditions for 

bulk epoxy FE simulations; b) comparison between the experimental [49] and FE 

stress-strain curves. 
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Fig 4. Calibrating mode I interface strength and fracture energy values: a) effect of mode 

I interface strength on the transverse tension stress-strain behavior; b) effect of 

mode I interface fracture energy on the transverse tension stress-strain behavior; 
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Fig 5. RVE under transverse tension: a) comparison between the experimental [55] and 

numerical stress-strain curve; b) mode I interface damage in the RVE; c) RVE 

interface damage profile in combination with the epoxy strips plastic deformation; 

d) failure of the interface cohesive elements. 
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Fig 6. Comparison between numerical and experimental [58] interface damage profile: 

a) measured FEA circumferential interface crack opening angle; b) experimental 

circumferential interface crack opening angle [58]. 
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b) 

 

Fig 7. Ductile failure behavior of the epoxy fibers under tensile load [28]: a) resin fiber 

before loading (average diameter ~36.7µm); b) microscopic images showing necking and 

failure surfaces of the epoxy fibers. 

 



 

56 

 

 

 

Fig 8. RVE under transverse tension: comparison between the average stress-strain 

curves obtained using bulk vs. in-situ epoxy material properties. 
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Fig 9. RVE under transverse compression: a) comparison between experimental [55] 

and numerical stress-strain curves; b) experimental plastic shear strain localization 

observed in a carbon-epoxy UD composite under transverse compression [42]; c) plastic 

shear strain localization observed from the micromechanical analysis. 
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Fig 10. RVE under transverse compression: a) comparison between experimental [55] 

and numerical stress-strain curves; b) shear band formation in 49 fibers RVE; c) 

experimental plastic shear band obtained in a carbon-epoxy UD composite under 

transverse compression [24]. 
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Fig 11. Effect of matrix material properties on the transverse compressive stress-strain 

behavior: a) predicted transverse compressive strength of the RVE using bulk and in-situ 

epoxy properties; b)effect of the in-situ epoxy strength and friction coefficient on the 

predicted compression strength; c) comparison between the predicted in-situ epoxy 

stress-strain curve vs. bulk epoxy stress-strain curve [49]; d) predicted transverse 

compressive stress-strain behavior of the RVE with the estimated in-situ epoxy non-

linear stress-strain curve.. 
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Fig 12. Effect of mode II interface properties on the transverse compression stress-strain 

response of an RVE: a) effect of interface strength; b) effect of interface fracture energy. 
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Fig 12.  RVE under in-plane shear: a) comparison between experimental [50] vs. 

numerical prediction composite stress-strain curve using bulk epoxy properties; b) bulk 

vs. in-situ predicted matrix in-plane shear stress-strain curve; c) experimental [50] and 

predicted in-plane shear response of composite using in-situ matrix stress-strain curve. 
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Fig 14.  Comparison between the experimental [33] vs. predicted biaxial failure envelope in σ22-τ12 stress plane with varying 

fiber-matrix interface friction. 
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b) 

 

Fig 15. Failure images under combined loading: a) RVE failure image under combined 

transverse tension-in-plane shear load; b) RVE failure image under transverse 

compression-in-plane shear loading. 


